AJAA JOURNAL
Vol. 33, No. 4, April 1995

Stress Considerations in Reduced-Size Aeroelastic Optimization

M. Karpel* and L. Brainin®
Technion—Israel Institute of Technology, Haifa 32000, Israel

The modal appreach, which is normally used in analysis and optimization with dynamic aeroelastic considera-
tions, is extended here to deal with static aeroelastic maneuver trim equations, loads, and stresses. Reduced-size
static equilibrium equations, where a subset of low-frequency vibration modes of a baseline structure is used as
generalized coordinates, are formulated such that they can be used for modified structures without changing the
coordinates. These expressions and their derivatives with respect to structural design variables are investigated
in comparison with full-size finite element solutions. A new method, which uses modal stress perturbations ef the
baseline structure to predict stresses in the modified ones, is developed. The modal perturbation approach facilitates
high-accuracy computations of stress sensitivities without increasing the model size. The presented formulation
facilitates an efficient inclusion of stress and load considerations in on-line aeroservoelastic optimal design schemes.

Introduction
HE structural design of flight vehicles requires an integrated

approach in which various aeroelastic aspects such as flutter:

margins, control effectiveness, interaction with the control system,
static and dynamic loads, and structural stresses are considered.
Common design processes start with the definition of a preliminary
set of design loads and the construction of an initial finite element
model that satisfies basic stress and buckling requirements. This
model is then used for the various aeroelastic analyses in several
design cycles. The possibly strong and contradicting effects of de-
sign changes on the various disciplines imply that the design process
can be more efficient if different aspects are considered simultane-
ously in an automated optimized process.

For the sake of numerical efficiency, it is desired to formulate
the various analyses such that the repetitive computations are per-
formed with reduced-size models and are using a common data
base. However, even though the different analyses can be based on
the same finite element model, the common solutions involve matrix
equations of substantially different types and sizes. Although stress
analysis, for example, normally requires the full detailed discrete-
coordinate stiffness matrix of typically thousands degrees of free-
dom, flutter analysis is usually based on about 10 modal coordinates.
Consequently, several integrated aeroelastic optimization processes
that included static and dynamic considerations, such as those of
Refs. 1-4, used full discrete-coordinate physical models for the
static considerations and reduced-size modal models for the dy-
namic ones.’

Some techniques were recently developed in order to reduce the
problem size in repetitive stress calculations during integrated opti-
mization. Livne et al.¢ used the equivalent plate approach of Giles,’
which requires special modeling efforts and might not correspond
to actual structures as well as standard finite element models do.
Bindolino et al.® used the perturbation mode approach® in which
the displacements due to each loading case are linear combinations
of the baseline displacement vector and its derivatives with respect
to the design variables. The problem size in this case is proportional
to the number of design variables. The application of Ref. 8 showed
efficient and accurate solution in optimization with one design load
case. This approach, however, does not take into account load re-
distribution due to structural changes and may become inefficient
in optimization with multiple loading cases.
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The approach taken in Refs. 10 and 11 was to extend the modal-
coordinate formulation to deal with static aeroelastic analysis and
optimization. The basic assumption of the modal approach is that
the elastic deflections and rigid-body movements of a flight vehi-
cle can be represented as a linear combination of a limited set of
predefined deflection modes. Under this assumption, the equations
of motion are transformed from physical coordinates to new modal
coordinates. The limited number of the modes taken into account
results in reduced-size analysis matrices, thus inherently contribut-
ing to the efficiency of the analysis. The modes in Refs. 10 and 11,
and in this work, are a relatively small set of low-frequency free-
free normal vibration modes of the vehicle, including rigid-body
modes. Applications to the wing design of a fighter aircraft, with
divergence and control effectiveness considerations, showed small
errors compared to full finite element solutions. Although flutter
required 10-20 modes in this application, static aeroelasticity re-
quired 20-30 modes, which still reduced the computational efforts
by orders of magnitude, compared to the full solutions.

The modal approach was included in the modal-based multidis-
ciplinary optimization scheme of Ref. 12 (which dealt with flutter,
control margins, and aeroelastic effectiveness) and showed excel-
lent accuracy in applications to the composite active flexible wing
(AFW) model, which has four control surfaces. The fact that all dis-
ciplines were based on the same modal coordinates, had analytical
sensitivities to the design variables, and used a common data base
yielded an integrated optimization process that was performed in
several minutes on a workstation. Continuous-gust response con-
siderations were added later with minor effect on computation
efficiency.!® It is desired to add stress considerations to this scheme,
including aeroelastic effects of structural changes on load distribu-
tions.

The problem of stress accuracy with the modal approach is quite
old. Bisplinghoff et al.® described two methods for calculating
modal-based stresses, the mode displacement (MD) and the mode
acceleration (MA) method. MD stresses are calculated directly from
the modal displacements. Since stresses are the resuit of displace-
ment differentiation, small modal truncation errors may cause large
stress errors. The MA approach uses the modal acceleration re-
sponse to calculate the inertial loads and add them to the excitation
forces. Stresses are calculated from the MA loads with the full-size
model. Expressions for derivatives of transient modal acceleration
response with respect to structural design variables are given by
Hafika et al.'* When aeroelastic loads are added, the MA method
becomes the summation-of-forces (SOF) method. Sensitivity analy-
sis of SOF loads with application to transport aircraft was presented
by D’Vari and Baker."?

The return to the full finite element model in each optimization
step requires large computational efforts. One purpose of this paper
is to show that MD analysis can also yield high-accuracy stresses,
at least in simple wing design cases, with a reasonable number
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of low-frequency modes taken into account. The main purpose is
to present a new modal perturbation method for calculating high-
accuracy stresses of modified structures, and their derivatives with
respect to the design variables, with the modal data base of the
baseline structure. It will be shown that the computational efforts
in including stress considerations in modal-based multidisciplinary
optimization can be reduced very significantly. For the sake of clarity
and completeness, the analytical developments include well-known
aeroelastic trim, load, and stress equations formulated in a way that
supports the presentation of the new method and helps to explain
the optimization procedure and the numerical examples.

Aeroelastic Trim

The discrete-coordinate equation of motion of the aeroelastic sys-
tem reads

(M1} + [CHa} + [K){u} = {Fa} + {Fo} 6

where {u} is the vector of structural displacements; [M], [C], and
[K] are the mass, damping, and stiffness matrices of order n; {Fp}
is the vector of external forces acting on the vehicle at a refer-
ence “zero” position; and {F,} is the vector of aerodynamic forces
due rigid-body and elastic motion, and control surface deflections,
relative to the reference position. With linear, quasisteady aerody-
namics, {F,} is expressed by

{Fa} = qlTusI"[AFC]

1
X ([Tas] ({u} + [écitéch — V[Tcs]{it}> 0]

where [AFC] is the steady aerodynamic force-coefficient matrix
defined by a linear panel method, ¢ is the dynamic pressure, and
V is the true aircraft velocity. Here, [¢¢] is a matrix of control
surface deflection modes, defined by kinematic deflections of con-
trol surfaces with zeros elsewhere, and {&} is a vector of control
commands. The terms [T4s], [Tws], and [T¢s] are transformation
matrices from deflections in the structural grid to deflections at the
panel pressure centers, pitch rotations at the panel control points
(at which local angles of attack are defined), and deflections at the
panel control points.

The basic assumption in the modal approach is that the structural
deflections can be adequately defined as

{u} = [drHEr} + [P£){éE} 3

where [¢r] and [¢£] are matrices of rigid and elastic natural vi-
bration modes of the baseline structure. Even though the mass and
stiffness matrices are changed during the optimization process used
in this work, the modes that serve as generalized coordinates remain
unchanged. The validity of Eq. (3), which depends on the number
n,, and type of modes included in [¢£ ] and on the structural changes,
is discussed in the following sections. For the sake of computation
efficiency, it is desired to use Eq. (3) with n,, <« n.

The substitution of Egs. (2) and (3) in Eq. (1), premultiplication
by [z ¢£]", and the quasisteady assumption that terms associated
with {£g} and {£¢} are negligible yield

Mgr |, . 0 0 §r| | Orr Qze
[MER] tenh + I:O KEE:l [SE } —4 [QER QEE]

r g | Qre|,; Ore ok
L F
X{55}+V[QER]{ER}+‘I[QEC]{ECH—[%?]{0}
¢

where the generalised aerodynamic matrices are -

Orr Qre Qrr Orc 7 T
- Tus T IAFC
{QER Orr O QEC] [¢g]“s” ]

X [[Tuslipr] [Tuslige]l  — [Teslipr]l  [Tusliocl]

and the generalized mass and stiffness matrices are

Mpyg Px
= M S
[MER] [¢£][ T ©

[Keel = [¢e]" [K1i¢e] ©®

Due to mode orthogonality, [Kgg] is diagonal and [Mzg] = 0 in
the baseline structure, but not in a modified one. The [Mgg] term
was neglected in the formulation of Refs. 11 and 12, where the only
static aeroelastic issue was control effectiveness.

The second row of Eq. (4) can be used to extract the modal elastic
deflections

(€5} = [DU X} + [Bllgs]" (Fo) O]

where
[B]l = (Keel — gl Qe

[D]=[B][QQER iQER —Mgr qQEC]

|4

and {Xg} is the vector of the aircraft rigid-body displacements,
velocities, and accelerations (linear and angular) and control surface
deflections

Xz =[6l &F &5 €] @®

The substitution of Eq. (7) in Eq. (4) yields the quasisteady maneuver
trim equation

[AN{X g} = (Fo) Q)

where
g
[A]=—[qQRR L 0wk ~Mar qQRc]—q[QRE][Dl

{Fo} = [[#=]" + q[Qre1[BIIGE)" ]{ Fo)

Equation (9) reflects an underdetermined system of ng equations
with 3ng + nc unknowns. In order to define a particular maneu-
ver, one has to define 2np + nc variables and solve Eq. (9) for the
remaining n g free variables, as demonstrated in the numerical exam-
ple. The definition of the 2n g -+ n¢ variables may require a solution
of the kinematic equations that define the maneuver. The aerody-
namic parts in [A] are integral stability and control coefficients with
aeroelastic effects. Their division by the respective “rigid” coeffi-
cients gives the associated aeroelastic effectiveness coefficients.

The optimization process starts with the definition of n, structural
design variables, where each variable is a geometric property (such
as thickness or cross-sectional area) of a group of finite elements. It
is assumed in this work that the mass and stiffness matrices are linear
with the design variables. Hence, the derivatives of the generalized
mass and stiffness matrices with respect to a design variable p; can
be calculated for the baseline structure by Egs. (5) and (6), with
[M1] and [K] replaced by 9[M1/3 px and 3(K1/8 p;. The resulting
O[Mpgrl/3py, A[MEgRrl/0pi, and 3[Kgr]/0 p, are saved in the data
base. The linearity assumption is adequate for most design variables
commonly used for structural wing design,? such as the thickness of
thin-skin elements, the width of spar webs, and the area of spar caps
and stringers. Cubic expressions, to be used, for example, when
bending effects in plate elements are significant, are discussed in
Ref. 13. The inclusion of such elements would require additional
coefficient matrices to be stored in the data base without causing
significant computational effects.

The updated generalized matrices throughout the optimization
process are calculated by

MRR Mg - 9 Mgy
- = + Apr— 10
)= [ ] o

d[Krel
Opx

(Keel=[Keel+ Y Ape an
k=1

To find the trim variables and the elastic deformations of a modified
structure, Egs. (7) and (9) are used with [B], [ D], and [ A] replaced by
[B], [D], and [A], where the generalized matrices are replaced by
those of Egs. (10) and (11).
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The differentiation of Eq. (9) with respect to py, using

a[B] _ a[KEgl
o = —[B]
Dk

[B] (12)

yields the underdetermined expression for the sensitivities of the
trim variables

- 9{X M .
) 22 =—(3[M“]+ Qe llB1) ER]){ER}
dpi opx
_ 9[K _ _
—q[Qze1(B) [3piE]([D]{XR}+[B][¢E]T{Fo}) (13)

The derivatives of the 2ny + n¢ variables that were fixed by the
defined maneuverin Eq. (9) are set to zero, and Eq. (13) is then solved
for the sensitivities of the ny free trim variables. The differentiation
of Eq. (7) yields the sensitivities of the modal displacements

d{&r) (a[KEE]

- B a[MER]
ap

)+ S{X“

{SR}) +D]

(14)

which will be used for sensitivities of loads and stresses in the
following sections.

Design Loads

The design loads in this paper are based on quasisteady trim
with linear aerodynamics. Applications of the modal approach to
dynamic loads are discussed in Ref. 13 for continuous-gust loads
and in Ref. 16 for impulsive excitation loads. The trim solution of
Eq. (9) and the modal deformations of Eq. (7) define the structural
displacements needed for the calculation of the net loads associated
with a defined maneuver. The net load vector { F;} can be calculated
by either the SOF method

{Foot} = {Fa} + {Fo} — [M][¢r]{ER) (15)
where {F4} is calculated by Eq. (2), or by the MD method
{Fua} = [K1[¢£ e} (16)

As deduced from Eq. (1), with damping forces neglected, and from
Eq. (3), the two vectors are effectively identical when the modal
assumption is valid.'®

Integrated section loads, which are often used to characterize the
load cases, are related to { F,} of either Eq. (15) or (16) by

(L} = (01" {Foer} amn

where [¢.] is a matrix of kinematic integration vectors called load
modes. An efficient way to generate the load modes together with
the baseline vibration modes is given in Ref. 16. It is also shown
in Ref. 16 that section loads can be expressed in terms of the trim
variables, the modal deformations and the generalized aerodynamic
and mass matrices, without the need to calculate { Fy.,} explicitly.
The SOF section-load sensitivities are obtained by the differen-
tiation of Eq. (17) using Egs. (2), (3), and (15), which yields

a{aLsof} a[MLR]{E } — [MLe] {SR}+ [QLR]a{SR}
Pk
+q[0uz] {SE}+ [QLCJB{SC} —[QLRla{g’” (18)

where the coefﬁc1ent matrices are s1m11ar to those of Eqs. @), (5),
and (10), but calculated with left multiplication by [¢7 ]. Equation
(18) is based on the trim variables, their sensitivities [Eq. (13)],
and the sensitivities of the modal deflections [Eq. (14)]: The MD
section-load sensitivities are obtained by differentiation of Eq. (17)
using Eq. (16), which yields

0{Lpg) _ 3[KLE]{$E}+ [KLE]B{SE}
api ape

where {£} is obtained by Eq. (7) and its sensitivities by Eq. (14).

19

Stress by Direct Modal Approach

Stresses in finite elements are related to the grid-point displace-
ments by

{o} = [SUHu} 20)

where [SU] depends on the element type, material properties, and
grid locations, but not on the gage properties, which are used here as
design variables (hence 3[SU1/dp; = 0). Application of the regular
modal assumption of Eq. (3) gives

{o} = [¢o HEE) 21

where [¢,] = [SU][¢e] is a matrix of modal stresses that is inde-
pendent of the design variables. Selected rows in [¢, ] are calculated
during the normal mode analysis of the baseline structure and stored
in the data base.

The differentiation of Eq. (21) gives the stress sensitivities to the

. design variables

3 3
a{cr} 19,15 {EE}
Pk

where 0{&g}/0p; is calculated by Eq. (14).

The validity of using the regular modal assumption for calculating
stresses and their sensitivities with a reasonable number of low-
frequency modes is a major investigation subject in this work. It
will be demonstrated in the numerical example section that, when
applied to a baseline structure under quasisteady maneuver loads,
the direct modal approach gives element stresses with excellent
accuracy, compared to the full finite element solution. However,
the stress sensitivities to design variables of local nature and the
stresses of the modified structure are unacceptably wrong.

(22)

Stress by Modal Perturbations

Local structural changes of nonhomogeneous nature may cause
stress redistributions that cannot be adequately expressed by
Eq. (21), with a limited number of baseline stress modes in [¢,].
We want to improve the accuracy of the sensitivity analysis with a
minimal impact on the method efficiency.

A new development is presented below with emphasis on phys-
ical insight. The discrete-coordinate displacement vector for stress
analysis of the modified structure is defined as

{us} = {uo} + {Au} (23)

where {u0} is the elastic displacement vector of the baseline struc-
ture under the modified loads and {Au} is an approximation of the
displacement changes due to forces applied by the added material
on the baseline structure.

The first term in Eq. (23) is treated by the regular modal approach
of Eq. (3), namely

{uo} = [P b0} (29)

where {§} is the solution of the generalized-coordinate equilibrium
of the baseline structure under the modified MD loads.

[Keeligo} = (951" {Fua} (25)

which yields, with Egs. (6), (11), (16), and (24),
(O[K
{uo) =[] ([1] + Z AplKeer 8 ”]){&-} 6)

where the diagonal [Kgg] and its nondiagonal sensitivity matrices
already appear in the modal data base.

The second term in Eq. (23) is the solution of the discrete-
coordinate equation

[KN{Au} =

Z APk

[¢E]{§E} 27)
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where the right side expresses the forces applied on the baseline
structure by the added material, estimated by the stiffness of the
added material and the modal displacement assumption of Eq. (3).
Nevertheless, these are concentrated forces at locations of struc-
tural changes that yield the local deformations needed for adequate
estimations of stress redistribution. Equations (23), (26), and (27)
yield

19lK
{us} = <[¢E]([11 + Z ApulKee 2L p‘i“)

k=1

+Y Ap [mk) {&r) 28)
k=1
where the modal perturbation matrices [¢p ], are the solutions of
[K
[K]l¢pli = ~——[——][¢E] 29

The generation of all the perturbation matrices requires #,, solutions
of Eq. (29), but they all use the same decomposition of [K]. Since
[ K ]represents a free-free structure, it is singular. Hence, the solution
requires the elimination of ny selected statically determined coor-
dinates by constraining the corresponding rows in [¢p]; to zeros.
Equation (20) with {u} replaced by {u,} of Eq. (28) yields

{o} = [CoHée} (30

where

[Ca1= o] ([1]+Z AplKgrl™ +Z Apeldorle
k=1

a[KEE])

where

[¢orl = [SUllPrIk

The modal stress perturbation matrices [¢, pI; are conveniently cal-
culated for the baseline finite element by defining the right side of
Eq. (29) as load subcases and calculating stresses by standard static
solutions. These matrices are the additional information stored in
the data base before the actual optimization starts. The only terms in
Eq. (30) that change during the optimization are Apy. It can be ob-
served that Eq. (30) is reduced to Eq. (21) for the baseline structure,
where all Ap, = 0.
The differentiation of Eq. (30) gives the stress sensitivities

3o} {SE} B[C]
. = o]
Pk

{EE} €29)

where the sensitivity matrices

3[C,]
ope

[ AKgel

= [¢,1[Kee]™ + (Boplk

are independent of p,. The most important feature of the modal per-
turbation method is that, once the data base is constructed, the re-
peated computations during the optimization process are extremely
efficient. The modal displacements and their derivatives are com-
puted in each step by the reduced-size equations (7) and (14). Sums
of the data base coefficient matrices multiplied by the updated design
values Ap, are then used to calculate stresses and their derivatives by
Eqgs. (30) and (31). The method is conveniently applicable to several
load cases simultaneously because the generalized coordinates and
the modal data base are not functions of any specific loading case.
Each independent structural design variable adds a modal stress per-
turbation matrix to the data base, but without increasing the problem
size.

Numerical Application

The main purpose of the numerical application is to demonstrate
the efficiency and accuracy of the modal perturbation method and
the potential advantages in using it in modal-based multidisciplinary
optimization schemes. Optimization studies often involve too many
aspect and technical details for a single paper. In order to focus
on the main purpose with clarity and physical insight, we used a
simple design case and direct optimization techniques that are easy
to perceive intuitively.

The application consists on a finite element MSC/NASTRAN
model of a flexible aluminum wing connected to a rigid fuselage
and an all-movable horizontal stabilizer. A top view of the doublet-
lattice aerodynamic model is shown in Fig. 1. The semispan length
is 12 m and the wing root is at y = 1.4 m. Top and side views of the
wing structural parts (torsion box and aileron) are shown in Fig. 2.
The wing-box structure include 16 ribs, upper and lower skins, 2
spars with caps, and 10 lines of stringers along the skins. The finite
element model consists of about 600 elements and 800 degrees of
freedom. The wing box was divided into five zones, each having
seven independent design variables: the thickness of the skin, front
spar, near spar, and ribs and the cross-sectional areas of the stringers,
front-spar cap, and rear-spar cap. The baseline values of the design
variables, except the spar caps, are given in Table 1.

The optimization data base was constructed for the baseline struc-
ture with 2 rigid-body modes (in heave and pitch), 40 symmetric
elastic modes, and 2 control modes related to the aileron and the €l-
evator. The data required for aeroelastic optimization without stress
considerations'? include the generalized stiffness and mass matri-
ces, their derivatives with respect to the 35 design variables, and the
generalized linear aerodynamic matrices (steady and unsteady). The
matrices added for stress considerations are the baseline modal stress
matrix [¢, ] and the 35 modal stress perturbation matrices [¢, p]; in
Egs. (30) and (31). All the modal results shown in this section were
calculated with this data base without returning to the finite element
model. The numerical errors indicated below for the modal results
are relative to full discrete-coordinate MSC/NASTRAN solutions
with updated design values.

The stress design is based on a single 3g pull-up maneuver at sea
level, Mach 0.55. There are eight trim variables in {Xz} of Eq. (9).
Four variables, heave translation, heave velocity, pitch acceleration
and aileron deflection, are set to zero. The heave acceleration is fixed
at &g, = 3g and the pitch rate is fixed at the kinematically defined
&r, = 2g/ V. The two remaining trim variables, &¢, and &,, which

Fig.1 Aerodynamic panel model.

Zone 2 Zone 3 Zone 4 Zone 5

Fig. 2 Structural layout of wing.



720 KARPEL AND BRAININ: REDUCED-SIZE AEROELASTIC OPTIMIZATION

Table 1 Initial and final values of design variables

Value
Design variable Initial® Final® Change
ribl 5.000 0.500 —90.0%
rib2 4.000 0.500 —87.5%
rib3 3.000 0.500 —83.3%
rib4 2.000 0.500 —75.0%
1ib5 1.000 0.500 —50.0%
skinl 1.500 1.703 +13.5%
skin2 1.400 2.200 +57.1%
skin2 1.300 1.800 +38.4%
skin4 1.200 1.800 +50.0%
skin5 1.100 0.996 —9.50%
fsparl 5.000 6.000 +20.0%
fspar2 4.000 4.750 +18.7%
fspar3 3.000 3.500 +16.7%
fspard 2.000 2.300 +15.0%
fspar5 2.000 2.200 +10.0%
rsparl 5.000 6.000 +20.0%
rspar2 4.000 4.750 +18.7%
rspar3 3.000 3.500 +16.7%
rspar4 2.000 2.300 +15.0%
rspar3 2.000 2.200 +10.0%
stringl 2400.0 1346.5 —43.9%
string2 2200.0 1098.6 —50.1%
string3 2000.0 864.43 —56.8%
string4 1800.0 646.60 —64.1%
string5 1600.0 472.50 —70.5%

aUnits are mm, except for the string variables, which are mm?,

in this case are the angle of attack « and elevator deflection &,,
remain to be solved for by the trim equation (9). The differences
between the modal trim values of the baseline structure and those
calculated by the full MSC/NASTRAN static aeroelastic solution
were less than 1%.

Section loads (shear, bending moment, and torsion) were calcu-
lated at several stations along the wing with percentage errors of
less than 0.05%. The variations of the wing-root bending moment
with percentage changes of the thicknesses of the skin and the front
spar at zone 2 and the cross-sectional area of the stringers at zone
3 are shown in Fig. 3. Here and in the following figures, the differ-
ent modal approach cases are marked by different isolated symbols,
whereas the NASTRAN reference is marked by solid lines. It can be
observed that the effects of structural variations are generally smali
(0.8%} for large design changes of —60% to +4240%. The errors
of load computations by the modal approach in this range are less
than 0.1%. Large reductions of more than 90% of the skin or front-
spar thicknesses cause aeroelastic divergence thatis indicated by the
NASTRAN solutions but not by the modal ones. Such extreme stiff-
ness reductions should be beyond the modal approximation move
limits. To check the ability of the modal approximation to predict
aeroelastic divergence,'® a new modal data base was constructed
with the thickness of the front spar at zone 2 reduced by 90%, and
section loads were then calculated with no perturbations. The re-
sulting loads were practically identical to those of NASTRAN.

The von Mises stresses for typical skin, front-spar and rear-spar
elements, and axial stresses for stringer elements along the wing
span in the baseline structure are shown in Fig. 4. It can be observed
that the modal stresses, calculated in this case by Eq. (21), are in
excellent agreement with the full solution. The derivatives of these
stresses with respect to the design variables were first calculated
by the direct modal approach [Eq. (22)]. Typical results are the
sensitivities to the skin thickness in zone 2, given in Fig. 5. The
errors, especially at and near zone 2, are unacceptably large and
sometimes even larger than 100%. Repeated calculations with the
direct approach, this time with 55 elastic modes (instead of 40), still
showed about the same errors. It is obvious that the direct approach
to stresses cannot be used in our optimization scheme.

The sensitivities of the baseline stresses were also calculated with
the new modal perturbation approach of Eq. (31). The derivatives
with respect to the skin thickness in zone 2 are given in Fig. 6. These
are the same parameters as in Fig. 5, but now the accuracy is excel-

1680 1

BENDING MOMENT [1000*Nt*rm]

1670 7 T

100 =50 50 100 50 200 250

)
PERCENTAGE OF CHANGE, Apg
Fig. 3 Wing root bending moment vs changes in design variables;

[0 variation of skin2, o variation of fspar2, A variation of string3,
Nastran reference.

—250 T T T T T T T T T T T 1
+] 1 2 3 4 5 2

] 7 8 ]
SPANWISE COORDINATE Y [

Fig.4 Wing stress field in pull-up maneuver; {1 skin elements, o front
spar elements, A\ rear spar elements, + stringers, Nastran reference.

d0 /dpg [GPo/m]

T T T T T T T T T

5 4 5 6 7 8 8 w 1
SPANWISE COORDINATE Y [rrj

8-

[-]
-
N

Fig. 5 Stress sensitivities to skin2: direct approach; O skin elements,
o front spar elements, A rear spar elements, + stringers, Nastran ref-
erence.

lent, as good as the accuracy in calculating stresses [Fig. 4]. Other
stress sensitivities (not shown) exhibited similar levels of accuracy.

The variations of von Mises stresses of an upper skin element
(1212) in zone 2, a frontspar element (2202) in zone 2, and the axial
stress in an upperskin stringer (4312) in zone 3, with percentage
changes of the front-spar thickness in zone 2, are shown in Fig. 7.
Although the effects on stresses in the skin and stringer elements are
small (except when divergence is approached), the effects on stresses
in the changed elements is of course large. A good agreement of
Eq. (30) with NASTRAN results is shown for the stress values
and their slopes at the baseline case (Ap; = 0). At a move range
of —30% +50% we still get accuracy of 10%, but larger changes
exhibit diverging errors. Among many analyzed stresses, this case
gave the worst accuracy. A more typical case, stresses in the same
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Fig. 6 Stress sensitivities to skin2: medal perturbation approach;
O skin elements, o front spar elements, A rear spar elements,
+ stringers, Nastran reference.
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Fig. 7 Stress in various element vs percentage of change in fspar2;
O skin element 1212, o front spar element 2202, A\ stringer 4312,
Nastran reference. .
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Fig. 8 Stress in various elements vs percentage of change in skin2;
0O skin element 1212, o front spar element 2202, A stringer 4312,
Nastran reference.

elements with changes in the skin thickness in zone 2, is shown
in Fig. 8. The changes now affect all the elements, and the errors
are significantly lower. It should be noted that changes of a single
local design variable is usually more severe than the more evenly
distributed changes in typical optimization cycles.

Convergence analyses were performed to investigate the effects
of the number of elastic modes taken into account. Convergence is
assumed when a continued increase of the number of modes taken
into account does not change the results significantly. Integral pa-
rameters such as control effectiveness and section loads needed only
10 modes to converge. Their sensitivities required up to 15 modes to
converge. Element stress converged with 15 modes for the baseline
structure and with 20 modes for the modified structures. The errors

50 100 50 200 250

1OIO 150 200 250

shown in the previous paragraphs indicate that convergence does not
necessarily imply accurate results. Convergence plots (not shown)
were generated up to 55 modes. A larger number of modes, even
if it eventually gives more accurate results, might yield inefficient
data preparation and optimization processes.

Stress considerations were added to the aeroelastic optimization
scheme of Ref. 12 and a multiobjective optimization was performed
with weight, stress, control effectiveness, and flutter considerations.
The optimization objectives were minimal weight; flutter dynamic
pressure gy > gy, Where gy . = 30,842 Pa (20% airspeed
margin); aileron effectiveness in roll, n;, of at least 9,,;, = 0.20 at
the design point; and element stresses under limit loads of not more
than oy, = 330 MPa. These behavior constraints where satisfied by
defining the weighted exponential cost function

fdap)) = AW +exp[ — Aq; (q_f _ )]

qfwmin
ns No o
+exp| —A — 1)+ ) exp|—A, (1 -—
o[ )| el (122
(32)
where W, is the siructural weight and A,,, A,;, Ay, and A, are

weighting coefficients. This easily differentiable cost function as-
signs large penalties to violations of the design requirements. A
steepest descent algorithm was used to reduce the cost function
without violating the prescribed move limits.

The analysis routines pass the behavior values W, g, 15, and o;
and their sensitivities to the optimization routine that calculates the
cost function and its derivatives with respect to the design variables.
The efficient computations allow tuning of the weighting coeffi-
cients in an on-line manner. More modal-based disciplines, such as
control stability margins'? and gust response,'® can be considered
by adding the respective analysis routines, assigning objectives and
weighting coefficients, and expanding the cost function accordingly.
Disciplines that cannot be based on low-frequency normal modes,
such as buckling, can be considered by interacting with other codes
using multilevel decomposition schemes.!”

The flutter analysis and the related sensitivity computations were
performed by the state-space methods of Ref. 12. The minimum-
state weighted unsteady aerodynamic approximations added 10
aerodynamic states. The stability boundary points were found by
root-locus analysis with dynamic residualization of 35 of the 40
data base elastic modes.

The weight of the baseline wing was about 1700 kg. To demon-
strate the coupling between the weight, flutter, and stress disciplines
and to yield significant nonhomogeneous structural changes in or-
der to check the method accuracy, the baseline cross-sectional area
of the stringers was purposely increased to move the wing bending
frequency closer to the torsion frequency, which caused the flutter
dynamic pressure to drop to about 30% below g, . . In addition, two
front-spar elements violated the stress requirements, one by 10% and
one by 30%. Each optimization step was aimed at reducing the cost
function by 4%. The optimization process was stopped arbitrarily
after 10 steps. The initial and final design gages of 25 design vari-
ables are compared in Table 1. Changes in the 10 spar-cap variables
(not shown) were insignificant. Round-figure final values indicate
reaching maximal allowed moves. It can be observed that the struc-
tural changes are significant and far from being homogeneous.

The changes of wing weight and selected stresses with the opti-
mization steps are given in Figs. 9 and 10. In the first five steps, the
process was focused on reducing the large penalties due to the viola-
tions of the flutter and stress margins, with a small impact on the total
weight. The last five steps reduced the wing weight by about 20%
while keeping the required margins. Control effectiveness values ex-
ceeded the requirements considerably throughout the process and,
hence, did not affect the design significantly. NASTRAN stresses
that were calculated in each step with design variables of the opti-
mization process are also shown in Fig. 10. It can be observed that
the stress errors increase as the structure deviates from the starting
point. The maximal errors among all elements with high stresses are
those of the front spar in Fig. 10: 2% at the starting point and 6.5%
at the end.
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Fig. 9 Variations of wing structural weight in optimization process.
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Fig. 10 Variation of stresses in various elements in optimization pro-

cess; [1skin element 1212, o front spar element 2401, A stringer Element
4151, Nastran reference.
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Fig. 11 Stress field in updated structure after 10 optimization steps;
[0 skin elements, o front spar elements, /A rear spar elements,
+ stringers, Nastran reference.

The stress field that was shown in Fig. 4 for the baseline structure
is shown in Fig. 11 for the final design. The errors in Fig. 11 are
larger, but still under 7%. The entire process was repeated with only
20 elastic modes and showed insignificant changes, in all aspects,
compared with the 40-mode results.

The main advantage of the modal approach is its computation ef-
ficiency. The entire 10-step optimization process described above,
after the baseline data base was prepared, took 161 CPU seconds
on a DEC VAX 9000-210 mainframe. One static solution (trim,
loads, and stresses), after the model was constructed, took 0.08 CPU
seconds with the modal approach, compared to 29.8 CPU seconds
with MSC/NASTRAN. Static solution plus sensitivity analysis with
modal perturbations took 3.62 CPU seconds. The use of 20 elastic
modes instead of 40 reduced the execution times of the modal meth-
ods by about 65%.

Conclusions

The presented modified formulation of static aeroelasticity pro-
vides an extremely efficient way to analyze loads and stresses in
aeroelastic systems and to include them in multidisciplinary aeroser-
voelastic optimization schemes. It was shown that the regular data
base, normally used in optimization with dynamic aeroelastic con-
straints, can be used for the analyses of aeroelastic trim, control
effectiveness, quasisteady maneuver loads, and structural stresses
under these loads as well. Sensitivity analyses can also be performed
with the regular approach, but, although yielding good results for
integral parameters, it yields unacceptable errors when applied to
local stresses. A new method that uses modal stress perturbations
was presented. The method exhibited high accuracy in calculating
stresses of modified structures. The modal perturbation matrices
are calculated for the baseline structure and stored in the data base
for use during the optimization process. The order of the repeated
static analyses, typically based on 2040 elastic modes, remains un-
changed when the new method is applied. A numerical application
demonstrated that stress considerations can be added to other con-
siderations with a marginal effect on the on-line computation time.
The method is especially suitable for preliminary and early detailed
design stages when the general element sizing and its effects on ma-
jor stresses and on global behaviors such as flutter and interaction
with the control system are of main interest.
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